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ABSTRACT

ARTICLE HISTORY

Performance-based earthquake engineering requires the harmonization of performances between structural and nonstructural elements.
This paper discusses the performance-based seismic design of nonstructural elements through a direct displacement-based methodology applicable to nonstructural elements attached to a single
location in the supporting structure and for which damage is the
result of excessive displacements. The fundamentals of direct displacement-based seismic design are presented along with a description
of the modiﬁcations required for its application to nonstructural
elements. As an example, the direct displacement-based seismic
design of a suspended piping restraint installation is presented. The
design approach is appraised by nonlinear dynamic time-history
analyses.
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1. Introduction
A seminal advancement in earthquake engineering over the last two decades has been the
elaboration of performance-based concepts for the seismic design of structures. Although
this approach, based on the coupling of multiple performance limit states and seismic
hazard levels, has advanced substantially for some types of structural systems to the point
where it is starting to be incorporated into building codes and standards [e.g., ASCE,
2017], its application to nonstructural building elements remains largely unexplored.
Nonstructural elements and systems are not part of a building’s structural load-bearing
system but are nonetheless subjected to the same dynamic environment during an earthquake. In many earthquakes that have struck densely built regions in the twentieth century
[Filiatrault et al., 2001; Chock et al., 2006; Gupta and McDonald, 2008; Ricci et al., 2011;
Salvatore et al., 2009; Ercolino et al., 2012; Perrone et al., 2018], nonstructural losses have
exceeded structural losses in most aﬀected buildings. This is not surprising considering
that nonstructural elements account for most of the investment in a typical building
[Miranda and Taghavi, 2003] and that nonstructural elements typically incorporate
primitive seismic design based on prescriptive empirical regulations and guidelines
[Filiatrault and Sullivan, 2014].
In comparison to structural elements and systems, there is much less information and
speciﬁc guidance available on the seismic design of nonstructural building elements for
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multiple-performance levels. There has not been much basic research in this area and
design engineers are often forced to start almost from scratch: observe what went wrong
and try to prevent it from happening again. This is a consequence of the prescriptive
design information currently available being based for the most part on judgment and
intuition rather than on scientiﬁc experimental and analytical results. Summaries of many
important aspects of the seismic behavior of nonstructural building elements as well as the
evolution of research and code eﬀorts in the last 30 years can be found in Soong [1995]
and Filiatrault and Christopoulos [2002].
For seismic damage assessment purposes, nonstructural elements are often classiﬁed into
two categories: “acceleration-sensitive” or “displacement-sensitive” nonstructural elements
[FEMA, 2012]. Damage to acceleration-sensitive nonstructural elements is mainly caused by
inertia forces arising from horizontal and/or vertical accelerations at various levels in the
supporting structure, causing overturning or excessive sliding/displacement of the elements.
Examples of acceleration-sensitive nonstructural elements are suspended building utility
systems, such as piping systems and cable trays, and anchored or free standing building
utility systems or contents. Damage to displacement-sensitive nonstructural elements is
mainly caused by inter-story displacements or drifts in the supporting structure, causing
excessive distortions in the elements. Examples of displacement-sensitive nonstructural
elements are architectural elements, such as windows, partitions, and other items that are
tightly attached into the supporting structure. Most code-based seismic design provisions
implicitly consider both acceleration-sensitive elements, by specifying equivalent static design
forces, and displacement-sensitive elements, by imposing drift limits on the supporting
structure or relative displacements limit between the elements and the supporting structure.
Because of lack of information, current seismic design provisions are empirical in nature and
lack clear deﬁnitions of performance objectives under speciﬁc seismic hazard levels.
Nonstructural building elements would beneﬁt greatly from rational performance-based
seismic design procedures. Focusing on acceleration-sensitive nonstructural elements, it can
be argued that these elements behave similarly to structural systems except for their diﬀerent
dynamic characteristics and the seismic input motions coming from the ﬂoors in the
supporting structure at which they are attached rather than from ground motions.
Furthermore, the labeling of “acceleration-sensitive” nonstructural elements is somewhat
fallacious since, in the end, damage in many of these elements results from excessive relative
displacements from the supporting structure that they are attached to. With this in mind, this
paper elaborates a performance-based seismic design procedure for acceleration-sensitive
nonstructural building elements using a direct displacement-based methodology. The proposed design procedure applies mainly to acceleration-sensitive nonstructural elements
suspended or anchored at a single location (ﬂoor) of the supporting structure and for
which damage is the result of excessive displacements. Nonstructural typologies for which
the proposed direct displacement-based seismic design procedure applies include piping
systems (including sprinklers), cable trays, suspended ceilings, cantilevered parapets, raised
access ﬂoors, anchored shelves and out-of-plane partitions, cladding, and glazing.

2. Current Force-Based Seismic Design of Nonstructural Building Elements
The primary intent of current seismic design requirements for nonstructural building
elements in North America and Europe [ASCE, 2016; NRC, 2015; CEN, 2004] is to
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maintain life-safety. This is attempted by limiting large displacements of nonstructural
elements by anchoring them to the supporting structure and by minimizing the potential
for internal damage to nonstructural elements, particularly in critical facilities. Current
seismic design requirements are based on the fundamental assumption that nonstructural
elements can be considered dynamically uncoupled from the structural system to which
they are connected, thereby justifying a “cascading” design approach. In this approach, the
dynamic ﬂoor responses of the supporting structure are estimated ﬁrst, without considering the interaction with the nonstructural elements. The structural response at the
attachment level is then considered as input for the estimation of the response of the
nonstructural elements.
In current North American and European design standards, the seismic design of
nonstructural elements starts by the calculations of equivalent static design forces in the
horizontal and/or vertical directions, and applying these forces to the element’s center of
mass. The equivalent static design forces are calculated by multiplying the mass of the
nonstructural element by the corresponding peak horizontal and/or vertical accelerations
anticipated at its center of mass during the design seismic event. Similar to building
structures, the equivalent static forces for the design of essential (critical) nonstructural
elements are multiplied by an importance factor larger than unity. In addition, to account
for the overstrength and nonlinear response of nonstructural elements, the equivalent
static design forces are divided by a response modiﬁcation factor larger than unity. The
support reactions due to the equivalent static design forces are usually calculated based on
the mass distribution of the nonstructural element [Meisel, 2001; Tauby et al., 1999].
Finally, the connections and restraints must be designed to withstand these equivalent
static forces. For nonstructural elements required for life-safety or continuous operation of
important facilities, the elements themselves must be designed also for these same
equivalent static forces.
In the Eurocode 8, for example, the horizontal equivalent static design force, Fa, to be
applied at the center of mass in the most unfavorable direction of a nonstructural element
can be obtained from CEN [2004]:
Fa ¼

Sa γa
Wa
qa

(1)

In Eq. [1], Wa is the operating weight of the element, γa is the importance factor (equal to
1.0 for a normal importance element and 1.5 for an element required for life-safety or
containing hazardous materials), qa is the behavior (force reduction) factor taking the
value of 1.0 or 2.0 depending on the types of nonstructural elements [CEN, 2004]. Sa in
Eq. [1] is the seismic coeﬃcient (design acceleration normalized by the acceleration due to
gravity) that may be calculated from the following expression:
!
3ð1 þ z=H Þ
S a ¼ ag S
 0:5  ag S
(2)
1 þ ð1  Ta =Tn Þ2
where ag is the peak ground acceleration (in units of g) for a rock site for the design
earthquake the intensity of which each country in Europe speciﬁes within their own national
annex, but which typically corresponds to an event with a return period of 475 years. S in
Eq. [2] is a soil factor (1.0 for rock sites and generally larger for softer soil sites), H is the
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total height of the supporting structure, and z is the elevation of the nonstructural element
measured from above the foundation level. Ta in Eq. [2] is the elastic vibration period of the
nonstructural element and Tn is the elastic fundamental (ﬁrst-mode) vibration period of the
supporting structure in the relevant direction of excitation.
Although the simple forced-based design approach for nonstructural elements has been
used extensively since its introduction in the 1964 edition of the Uniform Building Code
[UBC, 1964] in the United States and remains the cornerstone of seismic design requirements included in current editions of design codes, it includes several major shortcomings. These shortcomings, expressed both in general terms and more speciﬁcally in terms
of the Eurocode 8 force-base design procedure, are itemized below.
(1) The force-based design process is initiated with estimates of the elastic
fundamental periods of the supporting structure and of the nonstructural element
(Tn and Ta, respectively, in Eq. [2]). The estimation of the fundamental period of a
nonstructural element is diﬃcult to establish with all the uncertainties involved
and with no speciﬁc guidelines in design codes. In fact, the whole notion of using
structural and nonstructural elastic periods is fallacious since both the supporting
structure and nonstructural elements are expected to exhibit inelastic seismic
responses.
(2) The empirical linear ampliﬁcation of the peak ﬂoor acceleration with respect to the
peak ground acceleration (1 + z/H term in Eq. [2]) assumes ﬁrst mode response of
the supporting structure. The establishment of reasonable estimates for the peak
ﬂoor acceleration response proﬁle along the height of buildings has been the subject
of numerous studies and is still controversial due particularly to higher mode eﬀects
in buildings [Singh et al., 2006a, 2006b; Kehoe and Hachem, 2003; Miranda and
Taghavi, 2003; Pekcan et al., 2003; Drake and Bachman, 1996].
(3) The component ampliﬁcation factor [3/(1 + (1 − Ta/Tn)2 term in Eq. [2]], representing the expected dynamic ampliﬁcation of the peak ﬂoor acceleration at the
center of mass of the nonstructural element, does not consider the damping
characteristics of the element and neglects nonlinear response of both the supporting structure and of the nonstructural element.
(4) The force reduction (behavior) factor assigned to the nonstructural element
[qa in Eq. [1]] is diﬃcult to justify since it is based primarily on judgment.
Particularly, the lack of information on the lateral load-deformation response
of many nonstructural element typologies makes the use of current nonstructural force reduction factors misleading.
(5) Deformation limit states of nonstructural elements are not directly addressed by the
force-based design procedure. Limiting deformations is paramount for nonstructural elements, as stated qualitatively in building codes, since a large portion of the
nonstructural damage from recent earthquakes has been associated with excessive
lateral displacements.
(6) The reduction of the equivalent elastic design force by a force reduction factor
implies that the maximum displacement that the nonstructural element would
undergo relative to the supporting structure if it would remain elastic is equal to
the maximum displacement of the actual inelastic nonstructural element. This
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equal displacement approximation is inappropriate for most short-period nonstructural element typologies.
(7) Nonstructural force reduction factors are associated with the global displacement
ductility capacity of the nonstructural element. This displacement ductility is based
on the ratio of a performance limit displacement to a ﬁrst-yield displacement. No
appropriate deﬁnitions of yield and performance limit displacements have been
formulated for nonstructural elements.
These limitations of the forced-based seismic design procedure do not allow for a proper
assessment of the seismic safety of nonstructural building elements considering the
various limit states that these elements may have to confront during their service lives.
A performance-based seismic design approach for nonstructural elements should consider
relative displacements to the supporting structure as the central focus of the design
process. For many acceleration-sensitive nonstructural elements, this can be achieved by
using a direct displacement-based seismic design procedure.

3. Fundamentals of Direct Displacement-Based Seismic Design of Supporting
Structures
The central concept of the direct displacement-based seismic design method for supporting structures, as originally proposed by Priestley [1993, 1998, 2000] and since then
elaborated in detail [Priestley et al., 2007], is that the seismic design of the structure is
based on a speciﬁed target displacement for a given seismic hazard level. For this purpose,
the structure is modeled as an equivalent single-degree-of-freedom (SDOF) system with
appropriate height and equivalent elastic lateral stiﬀness and viscous damping properties,
representative of the global behavior of the actual structure at the target displacement.
Figure 1 presents a ﬂow chart illustrating the various steps of the direct displacementbased seismic design process for supporting structures. These various steps are brieﬂy
described below.
Step 1: Deﬁnition of Target Structural Displacement and Seismic Hazard
The ﬁrst step in the design procedure is the deﬁnition of the target displacement, Δt, that the
structural system should not exceed under a given seismic hazard level. Knowing Δt with an
estimate of the yield displacement of the supporting structure, the target ductility ratio, µt, can be
immediately derived. The seismic hazard associated with the target displacement must then be
deﬁned in terms of a design ground relative displacement response spectrum. For the life-safety
limit state, corresponding to a return period of 475 years in most design codes, this can be easily
obtained, for example, by transforming the 5% damped code design spectral accelerations for a
given seismic zone, SA5%, into corresponding spectral displacement values, SD5%.
SD5% ¼

T2
SA5%
4π2

(3)

where T is the structural period.
Code design spectral values are typically speciﬁed for an equivalent viscous damping
level equal to 5% of critical. Because inelastic structural response is expected under design
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Figure 1. Flowchart of direct displacement-based seismic design of supporting structures.

ground motions, the resulting hysteretic energy dissipation can be represented by an
equivalent viscous damping ratio in the structure higher than 5% of critical, as discussed
in the next step. The spectral displacement values corresponding to the actual equivalent
viscous damping level of the structure, SDξeq, can be obtained through empirical modiﬁcation factors such as [CEN, 2004]:
sﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃ
0:10
(4)
SDeq ¼ SD5%
0:05 þ eq
Note that if the design is to be conducted for a seismic hazard level diﬀerent than the
return period speciﬁed by the code (usually 475 years), the design displacement spectral
values must be scaled based on the hazard curve for the site of the supporting structure.
Step 2: Determination of Structural Equivalent Viscous Damping
In order to capture the energy dissipation characteristics of the structure at the target
displacement Δt, an equivalent viscous damping ratio, ξeq, must be determined. The
equivalent viscous damping is generally estimated as a function of the ductility demand,
which depends on the target displacement, deﬁned in the previous step, and on the
equivalent yield displacement, which can be estimated from simple equations [Priestley
et al., 2007]. To establish this damping database in the form of ξeq − Δt (or ξeq − µt)
relationship, the energy-based equivalent viscous damping approach originally proposed
by Jacobsen [1930, 1960] is often used, as given by
eq ¼

ED; Δt
þ i
2πkeq Δ2t

(5)
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where ED,Δt is the energy dissipated per cycle from the global hysteretic behavior of the
structure at the target displacement, Δt, and keq is the equivalent (secant) lateral stiﬀness of
the structure at the same target displacement. A nominal inherent damping ratio, ξi, is
considered to account for the energy dissipation not associated with the hysteretic
response of the structural system. Note that some of the inherent energy dissipation at
small response amplitudes could result from interactions (e.g., friction) between nonstructural elements and the supporting structure [Dwairi et al., 2007].
Step 3: Determination of Structural Equivalent Period
Knowing the target displacement, Δt, and the equivalent viscous damping ratio, ξeq, of
the structure at that target displacement, the equivalent period of the structure, Teq, can be
obtained directly from the design ground relative displacement response spectrum.
Step 4: Computation of Structural Equivalent Lateral Stiﬀness
Representing the supporting structure as an equivalent linear SDOF system, the
structural equivalent lateral stiﬀness, keq, can be obtained by
keq ¼

4π2 Weff
2
gTeq

(6)

where Weﬀ is the eﬀective seismic weight acting on the supporting structure and g is the
acceleration of gravity.
Step 5: Computation of Design Base Shear
Using the equivalent lateral stiﬀness given by Eq. [6], the design process is completed
by computing the resulting base shear capacity, Vb, on the supporting structure.
Vb ¼ keq Δt

(7)

This base shear can then be distributed along the height of the supporting structure per
code requirements and used to design the speciﬁc structural elements of the supporting
structure.

4. Application of Direct Displacement-Based Seismic Design to Nonstructural
Elements
The application of the diﬀerent steps of the direct displacement-based seismic design
methodology described in the previous section to nonstructural building elements requires
some modiﬁcations and the development of new information. Figure 2 presents a ﬂow
chart, analogous to Figure 1, illustrating the various steps of the direct displacement-based
seismic design process for nonstructural elements. These steps are discussed in this section
along with a description of the new information required to apply direct displacementbased seismic design to acceleration-sensitive nonstructural building elements anchored at
a single location (ﬂoor) of the supporting structure.
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Figure 2. Flowchart of direct displacement-based seismic design of nonstructural building elements.

Step 1: Deﬁnition of Target Nonstructural Displacement and Seismic Hazard
The ﬁrst step in the design procedure is still the deﬁnition of the target displacement,
Δt,a, or ductility, µt,a, that the nonstructural element should not exceed under a given
seismic hazard level. This target displacement is associated with the acceptable peak
deformation of the nonstructural element relative to its attachment points on the supporting structure for a given seismic hazard level. Note that all sources of deformations in the
nonstructural elements (such as supports/anchorage deformations) need also to be considered in the calculation of Δt,a.
The seismic hazard associated with the target displacement must then be deﬁned in
terms of a design ﬂoor relative displacement response spectrum, as illustrated in Figure 2.
The traditional technique used to calculate a ﬂoor response spectrum is ﬁrst to conduct a
dynamic analysis of the supporting structure by itself under a ground motion to calculate
the absolute horizontal acceleration time-history of the ﬂoor on which the nonstructural
element is attached and then to compute the response spectrum of this ﬂoor acceleration.
If a simpliﬁed ﬂoor design spectrum needs to be constructed for a given structure, the
process needs to be repeated for an ensemble of ground motions representative of the
selected design seismic hazard level at the construction site.
Signiﬁcant eﬀorts have been made in recent years to develop simpliﬁed but accurate
means of estimating design ﬂoor acceleration response spectra [Sullivan et al., 2013; Calvi
and Sullivan, 2014; Calvi, 2014; Vukobratović and Fajfar, 2016, 2017]. A simpliﬁed
method aims to provide, ideally through application of just a few equations, an estimate
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Figure 3. Eﬀects on ﬂoor acceleration response spectra (after Sullivan et al., 2013).

of the acceleration spectrum of a ﬂoor, SAF, within a supporting structure, such as the
SDOF system shown in Figure 3(a), subject to a ground motion for which the acceleration
spectrum, SA, is known. Note that SA would need to have been modiﬁed beforehand for
damping and hazard level if necessary (see Eqs. [3] and [4]). In principle, once a ﬂoor
acceleration spectrum is constructed, the ﬂoor relative displacement response spectrum,
SDF, can be easily obtained by the usual pseudo-spectra formula [Filiatrault et al., 2013]:
SDF ¼

Ta2
SAF
4π2

(8)

where Ta is the nonstructural period.
As discussed by Sullivan et al. [2013], several eﬀects should be accounted when
developing design ﬂoor acceleration response spectra. These eﬀects are brieﬂy described
below and are illustrated in Figure 3.
(i) Eﬀect of dynamic ﬁltering
As shown in Figure 3(c), the seismic waves arriving at a site will tend to be ﬁltered by
the structure, with ampliﬁcation of spectral acceleration demands on nonstructural
elements with natural period Ta close to the natural period Tn, of the supporting
structure, and reduction of acceleration demands for periods distant from the natural
period of the supporting structure. While Figure 3(c) refers to a SDOF system, such
ﬁltering can also be expected to occur at the various natural periods of vibration that
characterize multi-degree-of-freedom (MDOF) supporting structures.
(ii) Eﬀect of nonstructural damping
The acceleration demand on a nonstructural element will depend on the equivalent
viscous damping ratio that characterizes the nonstructural element, ξa. This eﬀect is
illustrated in Figure 3(c) for three increasing values of nonstructural damping ratio
ξa1, ξa2, and ξa3. A simpliﬁed method for the construction of ﬂoor acceleration
spectra should be able to take into account a range of nonstructural damping levels.
(iii) Eﬀect of structural nonlinearity with seismic intensity
The inelastic response of the supporting structure can signiﬁcantly inﬂuence ﬂoor
acceleration spectra. As the seismic intensity increases, ﬂoor spectral acceleration
levels will tend to increase. However, at a given seismic intensity, the supporting
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structure will undergo inelastic response and will limit the ﬂoor spectral accelerations per Newton’s second law. If an earthquake ground motion induces inelastic
response in the supporting structure, the ﬂoor spectral accelerations will saturate
over a wider nonstructural period range because of the lengthening of the eﬀective
period of the supporting structure. This eﬀect is illustrated in Figure 3(d) for three
increasing seismic intensities EQ1, EQ2, and EQ3. Note that the eﬀect of structural
nonlinearity on ﬂoor acceleration spectra is not easily quantiﬁed for MDOF supporting structures because this nonlinearity is diﬀerent for diﬀerent modes of
vibration [Sullivan et al., 2008].
Considering the above eﬀects, a very simple procedure for the construction of ﬂoor acceleration spectra for SDOF supporting structures was developed by Sullivan et al. [2013]. The
ﬂoor acceleration spectrum, SAF, is simply deﬁned by the following simple relations:



Ta
1
amax pﬃﬃﬃﬃ  1 þ amax for Ta < Tn
SAF ðTa Þ ¼
Tn
a
amax
SAF ðTa Þ ¼ pﬃﬃﬃﬃ for Tn  Ta < Teq
a
amax
SAF ðTa Þ ¼ rﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃ
for Ta  Teq

2
Ta
1  Teq þ a

(9)

where amax is the maximum acceleration of the mass of the supporting structure, which can
be easily obtained from the ground response spectrum. Note that amax saturates at the
acceleration level causing yielding of the superstructure, which could be easily considered
also by dividing the supporting structure’s lateral resistance by its seismic mass. Tn in Eq. [9]
is the natural (elastic) period of the supporting structure and ξa is the equivalent viscous
damping ratio of the nonstructural element. Teq in Eq. [9] is the eﬀective period of the
supporting structure, which is equal to the natural period Tn at low intensities and then
lengthens with increasing inelastic response brought about by increasing earthquake intensity. If the supporting structure is modeled as an elastic-perfectly plastic SDOF system with
no strain-hardening, Teq can easily be obtained by the following:
Teq ¼ Tn for μ  1
Teq ¼ Tn

pﬃﬃﬃ
μ for μ > 1

(10)

where µ is the global displacement ductility ratio exhibited by the supporting structure.
For supporting structures with periods of vibration shorter than 0.3 s, the dynamic
ampliﬁcation predicted by Eq. [9] was found to be overestimated and an alternative
expression was recommended by Calvi and Sullivan [2014].
Substituting Eq. [9] into Eq. [8] deﬁnes completely a design ﬂoor relative displacement
response spectrum, SDF.
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Ta3
1
Ta2
ﬃﬃﬃﬃ
p
SDF ðTa Þ ¼
a
amax for Ta < Tn

1
þ
max
4π2 Tn
4π2
a

SDF ðTa Þ ¼

SDF ðTa Þ ¼

Ta2 amax
pﬃﬃﬃﬃ for Tn  Ta < Teq
4π2 a

Ta2 amax
Tc2 amax
rﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃ
r
ﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃ

for Ta  Teq

2

2
T
T
4π2
4π2
1  Teqa þ a
1  Teqc þ a

(11)

For the ﬁrst, second, and third branches of Eq. [11], SDF varies as a function of (Ta)3, (Ta)2,
and Ta, respectively. The third branch of Eq. [11] is capped at a constant value occurring
for a corner period Tc. The reason for this limit is that past a corner period, ﬂoor
displacement spectra tend to stabilize, as pointed out by Calvi [2014]. This corner
frequency, however, is diﬃcult to identify for general applications and in the design
example discussed later in this paper, it will be assumed that Tc = Teq for simplicity.
Even though SDF is expected to drop eventually at long periods to a value corresponding
to the peak ﬂoor absolute displacement of the supporting structure, considerations relative
to this long-period portion of the spectrum are often irrelevant for the seismic design of
nonstructural elements, exhibiting much shorter periods of vibration.
To extend the above procedure to MDOF supporting structures responding in the
elastic range (Teq = Tn), the recommended procedure for ﬂoor acceleration spectra
proposed by Calvi and Sullivan [2014] can be extended to ﬂoor relative displacement
response spectra as follows:
(i) Conduct an elastic modal analysis of the supporting structure and, using the
ground response spectrum, determine the acceleration demands expected at level j
of the supporting structure for mode of vibration i. These modal peak accelerations, amax,j,i, can be obtained by
amax; j;i ¼ P

ϕj;i
ϕj;i mj

me;i SA;i

(12)

where ϕj,i is the mode shape value at level j for mode i, mj is the mass of story j,
me,i is the eﬀective mass of mode i, and SA,i is the ground spectral acceleration
demand at a period corresponding to mode i.
(ii) Apply Eq. [12] for each mode of vibration by setting amax = amax,j,i in Eq. [11] to
obtain the spectral displacements at level j in mode i, SDF,j,i(Ta).
(iii) For the upper levels (mid-level and above), the ﬂoor spectrum can be obtained by
taking the square-root-of-the sum-of-the-squares (SRSS) combination of the
modal spectral components computed in Step ii.
(iv) For the lower levels, the predicted ﬂoor spectrum can be constructed by taking the
larger of the spectral ordinates of either the ground level response spectrum or the
spectral accelerations obtained from the SRSS combination of the modal spectral
components computed in Step ii.
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The above procedure distinguishes between the upper and lower levels of the supporting
structure because of the limited ﬁltering that occurs to the ground motion over the lower
levels of a structure [see Calvi and Sullivan, 2014 for further details]. In addition, the
approach does not deﬁne how many modes of vibration need to be considered in Step ii;
but for a 20-story reinforced concrete (RC) wall building, Calvi and Sullivan [2014] found
that it was suﬃcient to include only the ﬁrst three modes of vibration in the direction of
excitation under consideration. A rational approach would be to select a number of modes
incorporating at least 90% of the total seismic weight of the supporting structure.
Step 2: Determination of Nonstructural Equivalent Viscous Damping
Similar to structural systems, it is necessary to capture the energy dissipation characteristics of the nonstructural element at the target nonstructural displacement, Δt,a (or ductility
µt,a), and determine an equivalent viscous damping ratio, ξeq,a. This nonstructural damping
database, in the form of a ξeq,a − Δt,a (or ξeq,a − µt,a) relationship, must be established from
cyclic testing data on the nonstructural typology under consideration. Once this nonstructural damping database has been established, Eq. [5] can be used to determine ξeq,a:
eq;a ¼

ED;Δt;a
þ i;a
2πkeq;a Δ2t;a

(13)

where ED,Δt,a is the energy dissipated per cycle by the nonstructural element at the target
displacement, Δt,a, and keq,a is the equivalent lateral stiﬀness of the nonstructural element
at the same target displacement. A nominal inherent damping ratio, ξi,a, can also be
considered to account for the energy dissipation not associated with the of the nonstructural element hysteretic response.
Step 3: Determination of Nonstructural Equivalent Period
Knowing the target displacement, Δt,a, and the equivalent viscous damping ratio, ξeq,a,
of the nonstructural element at that target displacement, the equivalent (secant) period of
the nonstructural element, Teq,a, can be obtained directly from the design ﬂoor relative
displacement response spectrum given by Eq. [11].
Step 4: Computation of Nonstructural Equivalent Lateral Stiﬀness
Eq. [6] can be used to obtain the nonstructural equivalent lateral stiﬀness, keq,a, as
follows:
keq;a ¼

4π2 Wa
2
gTeq;a

(14)

where all variables in Eq. [14] have been deﬁned previously.
Step 5: Computation of Design Force
Eq. [7] can then be used to complete the design process by computing the resulting
design force, Fa, on the nonstructural element.
Fa ¼ keq;a Δt;a

(15)

This design force can then be applied at the center of mass of the nonstructural element
and used to design the speciﬁc bracing/anchorage components supporting the
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nonstructural element and/or the nonstructural element itself. Note that no iteration on
keq,a is required since the equivalent period of the nonstructural element, Teq,a, is obtained
directly from the ﬂoor response spectrum at the proper damping level and that the
operating weight, Wa, and damping ratio, ξeq,a, of the element are known at the design
nonstructural displacement Δt,a. Note again that this approach is limited to nonstructural
elements anchored to a single location in the supporting structure.

5. Advantages and Disadvantages of Direct Displacement-Based Seismic
Design of Nonstructural Elements
The performance-based seismic design of nonstructural elements using the direct displacement-based strategy, as outlined in the previous section, has the following advantages
over the traditional forced-based design procedure discussed in Section 3.
(1) No estimation of the elastic period of the nonstructural element is required.
(2) The highly empirical behavior (force reduction) factors (e.g., qa in Eq. [1]) do not
enter the design process.
(3) Displacements of the nonstructural elements relative to the supporting structure,
known to cause the majority of nonstructural damage, drive the design process.
The direct displacement-based seismic design strategy for nonstructural elements, on the
other hand, requires detailed knowledge of the variation of the global equivalent nonstructural viscous damping with nonstructural displacement amplitude (ξeq,a − Δt,a relationship). This requirement can be considered a disadvantage of the direct displacementbased design procedure since knowledge of the cyclic behavior of the multitude of
nonstructural typologies commonly used in buildings is not well established at this time.
To obtain this information, nonstructural system level testing is required in parallel with
the development of analytical/numerical models for various nonstructural typologies.
These important research activities, however, are not diﬀerent from those conducted
over the last century for structural systems.
Finally, the performance-based seismic design of nonstructural elements using the
direct displacement-based strategy can only be implemented once performance objectives,
expressed in terms of nonstructural displacements relative to the supporting structures,
have been established for various seismic hazards and corresponding ground motion
intensities. The establishment of displacement-based performance objectives can also
result from the experimental and analytical work outlined above, as well as from reconnaissance surveys following real seismic events.

6. Design Example: Suspended Piping Restraint Installations
To illustrate the application of the direct displacement-based seismic design of acceleration-sensitive nonstructural elements, the design of the seismic restraints for an horizontal
mechanical piping system suspended from the top ﬂoor of a generic case-study ﬁve-story
RC building located in a high seismicity site in Italy (near the city of Cassino) is
considered in this section. The resulting direct displacement-based seismic design, considering two performance objectives, is also compared to the seismic design obtained by
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applying the Eurocode 8 force-based design procedure using current practices. Both
designs will be appraised by nonlinear dynamic time-history analyses in the next section.

6.1. Generic Case-Study Building and Site Characteristics
A ﬁve-story generic RC oﬃce building was considered for the design example. Only one
ﬁve-story seismic force-resisting frame was designed, as shown in Figure 4. The frame was
assumed to be the same in both principal directions of the case-study building. All stories
of the frame are 3.5 m in height. The frame was designed using the Eurocode 8 seismic
provisions [CEN, 2004] with a force reduction factor q = 3.75, corresponding to a ductility
class B on a assumed ﬁrm ground site near the city of Cassino, Italy, with a design peak
ground acceleration (with a return period of 475 years) of 0.21 g. The seismic weight, Ws,
of each ﬂoor, based on a tributary width of 5 m, along with the dimensions and
reinforcement details of the beams and columns are also shown in Figure 4. The concrete
strength was assumed to be 30 MPa, while the yield strength of the steel reinforcement
was assumed at 450 MPa. An eigenvalue analysis of the designed frame yielded the
following ﬁrst three natural periods based on gross section properties T1 = 0.92 s,
T2 = 0.33 s, and T3 = 0.21 s. Figure 5 shows the 5% damped Eurocode 8 design ground
acceleration response spectrum (Tr = 475 years) for the selected site. Note that the other
three spectra shown in the ﬁgure will be discussed later in the paper.

Figure 4. Five-story generic reinforced concrete building considered in design example.
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Figure 5. Comparison of ground acceleration 5% damped response spectra for assumed site of casestudy building, 475-year and 100-year return periods.

6.2. Mechanical Piping Layout and Properties
The mechanical piping layout selected for the design example was assumed part of the water
supply piping system suspended from the top ﬂoor of the generic case-study building
described in the previous section. Figure 6 shows a plan view of the horizontal piping
layout selected. The system includes three separate pipelines: (1) a cold-water distribution
line, (2) a hot-water distribution line, and (3) a hot-water recirculation line. The system
includes one 18-m-long main feed line connected to a perpendicular 36-m-long cross main
line. For simplicity, the eﬀects of the vertical risers and outlets that would connect to the
three horizontal pipelines in a real system are neglected. All pipes in the system are assumed
to be made of black standard steel with a diameter of 127 mm (5 in) along with a wall
thickness of 6.5 mm. All pipe elbows and longitudinal splices are assumed rigidly welded.
The unit weight of each water ﬁlled pipe, wa, is equal to 0.31 kN/m.

6.3. Seismic Restraint Conﬁgurations and Properties
The pipes are supported by unbraced trapezes used to support vertical gravity loads only (static
supports) and sway braced trapezes providing transverse or longitudinal supports. The positions
of the vertical static supports are indicated in Figure 6 and are based on a standard static design
considering the self-weight of the water ﬁlled pipelines. General views and key dimensions of the
transverse and longitudinal sway braced trapezes are shown in Figure 7a and b, respectively. For
both directions, the vertical supports are provided by a horizontal channel and two vertical steel
channels (all 41 mm deep) connected to the top ﬂoor slab by rail supports. The vertical channels
are connected to the horizontal channel by channel hinges. Each of the three pipes is restrained
inside of a pipe ring that is connected to the horizontal channel by a short (50 mm long) vertical
12-mm diameter threaded rod. The transverse and longitudinal seismic restraints are provided
by one and two diagonal channels, respectively. Each diagonal channel is oriented at 45° with
respect to the vertical and is connected to the ends of the horizontal channel and to the ceiling
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Figure 6. Plan view of mechanical piping layout selected for design example with sway braces
according to (a) Eurocode 8 design and (b) direct displacement-based design.

slab by channel hinges. The unbraced trapezes are identical to that shown in Figure 7 but with
the diagonal channels omitted.
The design properties for the sway braced trapezes used in this design example are based
on the quasi-static cyclic testing conducted by Wood et al. [2014] on standard conﬁgurations
of braced trapezes. The testing was conducted according to the FEMA-461 loading protocol
[FEMA, 2007]. The mean properties that are required to conduct the seismic design of the
sway braced trapezes were extracted from the test results. These properties are the peak
strength, Fmax,a, yield displacement, Δy,a, and ductility ratio, µa. For the purpose of this design
example, the yield displacement, Δy,a, is deﬁned on the envelope (backbone) force–displacement curve as the intersection between the horizontal line drawn at Fmax,a and the secant
stiﬀness at 40% of Fmax,a. The ductility ratio, µa, is deﬁned as the ratio between the ultimate
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Figure 7. (a) Transverse and (b) longitudinal sway braced trapezes.
Table 1. Mean properties of sway braced trapeze systems.
Mean properties
Direction
Transverse
Longitudinal

Yield displacement
Δy,a (mm)
13.8
18.2

Peak strength
Fmax,a (kN)
8.6
11.9

Ductility ratio
µa
1.5
2.5

displacement achieved in the cyclic tests and Δy,a. Table 1 lists the values of these properties
used for the design of the two sway braced trapeze conﬁgurations.
6.4. Eurocode 8 Force-Based Seismic Design
The seismic design of the transverse and longitudinal sway braced trapezes is ﬁrst
conducted according to the Eurocode 8 force-based design procedure [CEN, 2004]. For
this purpose, the horizontal equivalent static design force, Fa, given by Eq. [1] is applied to
each sway braced trapeze over a tributary zone of inﬂuence characterized by a spacing, sa.
The design is achieved when the horizontal equivalent static design force is less or equal
than the characteristic strength of the sway braced trapeze, FRk, divided by a resistance
factor, γm.
Fa 

FRk
γm

(16)

According to Eurocode EN-1990 [CEN, 2002], FRk should be the 5th percentile characteristic strength, and γm depends on the strength variabilities of the sway braced trapeze
systems. For simplicity in this design example, FRk is taken as the mean strength from the
Wood et al. [2014] tests (FRk = Fmax,a from Table 1) and γm is taken equal to 1.25.
Substituting Eq. [1] into Eq. [16] and representing the operating weight of the piping, Wa,
as the product of the unit weight of the total number of water ﬁlled pipes, Np, (multiplied
by a factor of 1.15 to take into account the weight of the ﬁttings and welded connections)
and the spacing of the sway braces, sa, i.e., Wa = 1.15Npwasa, the required spacing of the
sway braced trapezes, sa, can be obtained as follows:
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sa 

qa
FRk
γm γa Sa 1:15Np wa

(17)

In order to evaluate the seismic coeﬃcient Sa in Eq. [17], the fundamental period of the
sway braced trapezes, Ta, must be estimated [see Eq. [2]]. There is signiﬁcant diﬃculty in
rationally computing the initial periods of nonstructural elements because of the lack of
information and guidance in current building codes. The current state of practice for the
seismic design of piping seismic restraints is to assume Ta/Tn = 0 in Eq. [2]. This simple
approach is based on impact hammer tests conducted on a small number of installed ﬁeld
systems that showed fundamental nonstructural periods shorter than 0.1 s [Hilti, 2014].
Note that this approach can be nonconservative as the measured periods may not have
been representative of all sources of ﬂexibility in sway braced trapezes (e.g., pipe ring
deformations). Furthermore, as discussed above, the use of initial stiﬀness as an estimate
for inelastic components is irrational.
Table 2 summarizes the ﬁnal seismic design according to the Eurocode 8 force-based
design procedure for the transverse and longitudinal sway braced trapezes using a
behavior factor qa = 2.0, as speciﬁed in Eurocode 8 for suspended systems. The number
of required sway braced trapezes in each main line is obtained by dividing the length of
piping by the required spacing and rounding up to the highest integer. One transverse and
one longitudinal sway braced trapezes are required in the 18-m-long feed main line, while
two transverse and one longitudinal sway braced trapezes are required in the 36-m-long
cross main line. The resulting sway braced trapeze layout satisfying the Eurocode 8 design
is shown in Figure 6(a). Note that the brace spacing values obtained with the Eurocode 8
force-based design procedure (see Table 2) are larger than maximum prescriptive spacing
requirements contained in some standards. For example, the Cast Iron Soil Pipe and
Fittings Handbook [CISPI, 2006] in the United States suggests a maximum transverse
sway brace spacing of 12 m and a maximum longitudinal sway braced trapeze spacing of
24 m for horizontally oriented piping. No such prescriptive spacing requirements are
including in nor referenced by the Eurocode 8 and, therefore, are not considered herein.

Table 2. Summary of Eurocode 8 forced-based seismic design for transverse and longitudinal sway
brace trapeze systems.
Design parameter
Number of pipes, Np
Unit weight of one water ﬁlled pipe, wa
Period ratio Ta/Tn, Eq. [17]
Design peak ground acceleration, ag
Soil factor, S
Height ratio, z/H
Seismic coeﬃcient, Sa, Eq. [2]
Importance factor, γa
Behavior factor, qa
Resistance factor, γm
Characteristic strength, FRk, Table 1
Required spacing of sway braces, sa, Eq. [17]
Required number of sway braced trapezes in feed main line, L = 18 m,
Figure 6(A)
Required number of sway braced trapezes in cross main line, L = 36 m,
Figure 6(A)

Transverse
direction

Longitudinal
direction
3
0.31 kN/m
0
0.21g
1.0
1.0
0.53
1.0
2.0
1.25

8.6 kN
24.5 m
1
2

11.9 kN
33.9 m
1
1
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6.5. Direct Displacement-Based Seismic Design
In this section, the steps described in Section 3 are applied to design the transverse and
longitudinal sway braced trapezes according to the proposed direct displacement-based
procedure. To illustrate the ﬂexibility of the procedure, two diﬀerent performance objectives linked to diﬀerent ground motion return periods are considered. These two performance objectives and ground motion return periods are summarized in Table 3.
The ﬁrst performance objective is associated with damage prevention in the sway
braced trapezes under frequent earthquakes having a return period Tr = 100 years. For
this example, the damage prevention performance objective is assumed to be associated
with a target displacement equal to the yield displacements, Δy,a, of the sway braced
trapezes, as listed in Table 1 for the transverse and longitudinal directions, respectively.
The associated target ductility ratio of the sway braced trapezes is, therefore, µt,a = 1.0 in
both directions. The second performance objective is associated with life-safety prevention
under design earthquakes with a return period Tr = 475 years. For this example, the lifesafety prevention performance objective is also associated with collapse prevention of the
sway braced trapezes and is assumed to be associated with the maximum ductility ratio
achieved in the cyclic tests conducted by Wood et al. [2014], μa, as listed in Table 1 for the
transverse and longitudinal directions, respectively. Therefore, the associated life-safety
prevention target ductility ratios of the sway braced trapezes are µt,a = 1.5 and 2.5 in the
transverse and longitudinal directions, respectively. Note that the two performance objectives considered for this example are only for illustration of the proposed direct displacement-based seismic design methodology. Multiple performance objectives could be
considered in a real design situation provided that a target displacement of the sway
braced trapezes can be associated with each performance objective.
Equation [16] still applies to the direct displacement-based seismic design except that
the horizontal equivalent design force to each sway braced trapeze, Fa, is obtained by Eq.
[15]. Substituting Eq. [14] and Eq. [15] into Eq. [16], the required spacing of the sway
braced trapezes, sa, can be obtained as follows:
sa 

2
gTeq;a

FRk
4π2 Δt;a 1:15γm Np wa

(18)

where all variables in Eq. [18] have been deﬁned previously.
Recall that Teq,a in Eq. [18] is the equivalent (secant) period of the sway braced trapezes
that can be obtained from the design ﬂoor relative displacement response spectrum,
knowing the target displacement, Δt,a, and the equivalent viscous damping ratio, ξeq,a, of
the sway braced trapezes at that target displacement. To establish the required ξeq,a − Δt,a
Table 3. Performance objectives for direct displacement-based seismic design of transverse and longitudinal sway brace trapeze systems.

Performance
objective
Damage prevention
Life-safety/collapse
prevention

Sway braced trapeze target
displacement, Δt,a (mm)

Sway braced trapeze target
ductility ratio, µt,a

Ground motions return
period, Tr (year)

Transverse
direction

Longitudinal
direction

Transverse
direction

Longitudinal
direction

100
475

13.8
20.7

18.2
45.5

1.0
1.5

1.0
2.5
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Figure 8. Variation of equivalent viscous damping ratio with target ductility ratio.

(or ξeq,a − µt,a) relationship, Eq. [13] was applied at each displacement amplitude of the
hysteretic curves from the cyclic tests on sway braced trapezes conducted by Wood et al.
[2014] and described in Section 6.3. Figure 8 shows the resulting ξeq,a − µt,a data extracted
from the tests along with a very simple model (shown with dotted lines) adopted for this
design example:
eq;a ¼ 0:15 for μt;a  1:0
eq;a ¼ 0:18 for μt;a > 1:0

(19)

The apparent high damping value (ξeq,a = 0.15) for μt,a ≤ 1 in Eq. [19] is the result of the
sway braced trapezes tested by Wood et al. [2014] exhibiting hysteretic energy dissipation
characteristics over their entire displacement ranges without a clear elastic region.
To construct the design top (ﬁfth) ﬂoor relative displacement response spectra, SDF, for
the case-study building, Eq. [11] can be used. Although the case-study building would be
expected to undergo inelastic actions under design (Tr = 475 years) ground motions, this
inelastic action would aﬀect only the second and third branches of the ﬂoor relative
displacement spectrum at periods longer than the expected equivalent (secant) period of
the sway braced trapezes, Teq,a. For simplicity, the case-study building was assumed to
remain elastic for both ground motion intensities considered (Tr = 100 and 475 years)
and, thereby, it was assumed that Tc = Teq = Tn = 0.92 s in Eq. [11]. The ﬁrst three modes
of vibration of the case-study building were considered to construct the top ﬂoor relative
displacement response spectra per the methodology proposed by Calvi and Sullivan
[2014], described in Section 4. For each ground motion intensity, the modal top (ﬁfth)
ﬂoor peak horizontal accelerations, amax,5,i, were calculated by Eq. [12]. The design ground
spectral acceleration demand for each of the ﬁrst three modes of vibration of the casestudy building, SA,i, was obtained by consulting the Eurocode 8 design ground acceleration
response spectrum shown in Figure 5. Table 4 summarizes the calculations of the modal
peak accelerations at the top ﬂoor of the case-study building for the design ground
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Table 4. Summary modal peak acceleration calculations at top ﬂoor of case-study building for design
ground motions intensity (Tr = 475 years).

Mode
i
1
2
3

Natural
period Ti
(s)
0.92
0.33
0.21

Ground spectral
acceleration, SA,i
(g)
Figure 5
0.27
0.44
0.35

Eﬀective
modal mass
me,i (t)
86.0
11.32
4.57

Cumulative
percentage of total
seismic mass
82
93
97

Mode shape
value at level
5, ϕ5,i
0.14
0.12
0.11

P

f j;i mj
(t)
Eq. [12]
9.23
3.79
1.79

Modal peak
accelerations at
level 5
amax,5,i (g)
Eq. [12]
0.36
0.16
0.10

motions intensity (Tr = 475 years). The ﬁrst three modes of vibration of the case-study
building incorporate 97% of its total seismic weight. The modal peak accelerations at the
top ﬂoor of the case-study building for the ground motions intensity associated with
damage prevention (Tr = 100 years) were obtained by scaling the values shown in Table 4
by a factor of 0.507 obtained from the seismic hazard curve at the site [Barani et al., 2009].
Figure 9 shows the resulting design top (ﬁfth) ﬂoor relative displacement response
spectra for the case-study building. The spectra are plotted for equivalent viscous damping
ratios of 15% and 18% of critical according to Eq. [19]. These ﬂoor relative displacement
response spectra can then be used to complete the seismic design of the sway braced
trapezes according to the proposed direct displacement-based procedure, as summarized
in Table 5. As expected, the range of sway braced trapeze equivalent periods, Teq,a, listed in
Table 5 (0.36–0.53 s) is signiﬁcantly longer than elastic periods, Ta, estimated from low
amplitude impact hammer tests [Hilti, 2014]. Basing the seismic design on realistic
equivalent (secant) period of vibrations is one of the main strengths of the direct
displacement-based seismic design procedure. The resulting spacing of the sway braced
trapezes from the direct displacement-based seismic design procedure for both the
transverse and longitudinal directions is governed by the life-safety prevention performance objective for ground motions having a return period Tr = 475 years. Again here,
the number of required sway braced trapezes in each main line is obtained by dividing the

Figure 9. Design top ﬂoor relative displacement response spectra for case-study building.
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Table 5. Summary of direct displacement-based seismic design for transverse and longitudinal sway
braced trapeze systems.
Final design values
Damage prevention
hazard level,
Tr = 100 years
Design parameter
Sway braced trapeze target ductility ratio, µt,a
Sway braced trapeze target displacement, Δt,a (mm), Table 3
Sway braced trapeze equivalent viscous damping ratio, ξeq,a,
Eq. [19]
Sway braced trapeze equivalent period, Teq,a, Figure 9
Number of pipes, Np
Unit weight of one water ﬁlled pipe, wa
Resistance factor, γm
Characteristic strength, FRk, Table 1
Required spacing of sway braces, sa, Eq. [18]
Required number of sway braced trapezes in feed main line,
L = 18 m, Figure 6(b)
Required number of sway braced trapezes in cross main line,
L = 36 m, Figure 6(b)

Safety prevention hazard
level, Tr = 475 years

Transverse Longitudinal Transverse Longitudinal
1.0
1.0
1.5
2.5
13.8
18.2
20.7
45.5
0.15
0.18
0.40 s

0.46 s

8.6 kN
18.5 m
1

0.36 s
3
0.31 kN/m
1.25
11.9 kN
8.6 kN
25.7 m
10.0 m
1
2*

11.9 kN
13.7 m
2*

2

2

3*

4*

0.53 s

*Control the design.

length of piping by the required spacing and rounding up to the highest integer. Two
transverse and two longitudinal sway braced trapezes are required in the 18-m-long feed
main line while four transverse and three longitudinal sway braced trapezes are required
in the 36-m-long cross main line. The layout of the sway braced trapezes satisfying the
proposed direct displacement-based seismic design procedure is shown in Figure 6(b).
Clearly, the direct displacement-based design results in more sway braced trapezes than
that obtained by the Eurocode 8 force-based design procedure discussed in the previous
section, which should yield better seismic performance.

7. Design Example Appraisal
In this section, the seismic performance of the transverse and longitudinal sway braced
trapezes designed according to the Eurocode 8 approach, discussed in Section 6.4, is
compared to that of the seismic design conducted according to the proposed direct
displacement-based procedure, described in Section 6.5. An ensemble of ground motions
was ﬁrst generated for each of the two design return periods (Tr = 100 and 475 years)
considered at the site of the case-study building. Using these two ensembles of ground
motions, two-dimensional nonlinear time-history (NLTH) dynamic analyses were conducted on the case-study building to generate an ensemble of top ﬂoor input motions for
each of the same two return periods. Using these top ﬂoor input motions, three-dimensional NLTH dynamic analyses were in turn conducted on the mechanical piping system
incorporating the transverse and longitudinal sway braced trapeze layouts resulting from
the Eurocode 8 design and from the direct displacement-based seismic design procedure
(Figure 6). Finally, cumulative probability distributions of the maximum relative transverse and longitudinal displacements between the sway braced trapezes and the supporting structure were generated to evaluate the probability of exceedance of the target
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displacements associated with the performance objectives considered for the two ground
motion return periods, thereby appraising the two diﬀerent design methodologies.
7.1. Selection of Earthquake Ground Motions
A set of 20 three-dimensional ground motions representative of earthquake ground
motions at the site of the case-study building for both design return periods (Tr = 100
and 475 years) were selected from the PEER NGA-West database [PEER, 2018].
In this study, a site close to the city of Cassino in Italy was chosen for the ground
motions selection. As described in Section 6.5, the site is characterized by a peak ground
acceleration on stiﬀ soil equal to 0.21 g for a return period Tr = 475 years. The
corresponding peak ground acceleration for a return period Tr = 100 years is 0.10 g
based on the hazard curve for the site [Barani et al., 2009]. Hazard-consistent record
selection was based on spectral compatibility (matching of the geometric mean) with a
conditional mean spectrum according to the methodology proposed by Jayaram et al.
[2011]. For this study, the conditioned period of interest was selected to be 1.0 s because it
is near the fundamental period of the case-study building (0.92 s).
Figure 5 compares the median response spectrum obtained from the two horizontal
components of the 20 considered ground motions (40 horizontal records) with the
Eurocode 8 design response spectrum for return periods of 100 and 475 years, respectively. Good agreement is observed between the median and Eurocode peak spectral
values. The median spectral values envelope the Eurocode 8 design spectra in the range
of the ﬁrst three elastic natural periods of the case-study building (0.21–0.92 s).
7.2. Modeling of Case-Study Building
The nonlinear model of the case-study frame shown in Figure 4 is based on a lumped plasticity
approach with the OpenSees software [Mazzoni et al., 2006]. The interaction between the
structural and other nonstructural elements was neglected in this cascading approach. The
primary structural elements were modeled by elastic beam and column elements with plastic
rotational hinges at both ends. The yielding and ultimate end rotations were determined
according to Eurocode 8 procedures [CEN, 2004]. The hysteretic behavior of each plastic
hinge was simulated using the Pinching4 uniaxial material model available in OpenSees. The
moment-rotation backbone curve was composed of four branches describing (1) the ﬁrst
cracking of the concrete, (2) the yielding of the longitudinal bars, (3) the maximum ﬂexural
capacity of the section, and (4) the residual moment capacity assumed arbitrarily equal to 20% of
the maximum ﬂexural capacity [Rozman and Fajfar, 2009]. The well-known Takeda model
[Takeda et al., 1970] was used to simulate the hysteretic response of the plastic hinges.
The axial forces in the beams were neglected but the yield moments in the columns
were adjusted at each time-step based on axial load-bending moment interaction curves.
The bases of the ﬁrst ﬂoor columns were assumed ﬁxed and the foundation assumed to be
rigid. As shown in Figure 4, the seismic weight of each ﬂoor was taken equal to 21.8 t
except for the top level, which was taken as 17.6 t. Large-displacement nonlinear dynamic
response analyses were conducted using Newmark’s explicit integration scheme with an
integration time-step equal to the time-step of each horizontal earthquake record divided
by 10. Rayleigh tangent stiﬀness proportional viscous damping was introduced in the
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numerical model with 5% of critical damping speciﬁed in the ﬁrst mode of vibration. The
ﬁrst three elastic natural periods of the structure (T1 = 0.92 s, T2 = 0.33 s, and T3 = 0.21 s)
were already provided in Section 6.1.

7.3. Generation of Top Floor Input Motions
Nonlinear time-history dynamic analyses of the case-study frame were conducted using
the 20 horizontal ground motion pairs (40 records) generated for each of the return
periods considered (Tr = 100 and 475 years). Figure 10 compares the median 5% damped
capacity response spectra (i.e., SAF(Ta) vs. SDF(Ta)) for the 40 horizontal top ﬂoor acceleration components along with the corresponding response spectra predicted by Eq. [9]
and Eq. [11], which were used for the seismic design of the swayed braced trapezes of the
mechanical piping system. The spectra predicted by Eq. [9] and Eq. [11] match very well
the median ﬂoor motions spectra over the ﬁrst three natural periods of the case-study
building. For periods longer than the fundamental period of the case-study building
(0.92 s), Eq. [11] caps the spectral displacement to a constant value, while the ﬂoor
motions median spectra reduce toward the peak ﬂoor absolute displacements of the
supporting structure. Note that the slight fundamental period lengthening due to the
inelastic response of the supporting structure under 475-year ground motions can be
observed in Figure 10(b) for the median ﬂoor capacity spectrum.
The mechanical piping system was analyzed under three-dimensional top ﬂoor
motions. For each return period, the horizontal ﬂoor motion components obtained on
the top ﬂoor of the case-study building were combined to create 20 horizontal ﬂoor
motions pairs. Since the mechanical piping system is a spatial structure that can be
oriented in any of the two principal directions of the supporting case study building,
the horizontal components were then rotated 90° from each other to create 40 horizontal
ﬂoor acceleration pairs. The vertical acceleration component of each ground motion
selected was scaled similarly to the horizontal components and used directly at the top
level of the case-study building to create 40 three-dimensional ﬂoor motions for the threedimensional nonlinear dynamic response analyses of the mechanical piping system. It was
assumed that the case-study building behaved as a rigid body in the vertical direction with
no ampliﬁcation of the vertical ground motions.

7.4. Modeling of Piping Systems
Three-dimensional models of the two design alternatives of the sway braced water piping
system shown in Figure 6 were developed in OpenSees for calculating their dynamic
responses under the triaxial ﬂoor motions generated in the previous section. All pipes
were modeled as elastic frame elements in the same horizontal plane located at a drop
height of 800 mm from the top slab of the case-study building. All nodes were free to
deform in translations and rotations except at the locations of vertical gravity load
trapezes (static supports), where vertical translations were constrained. The longitudinal
and transverse sway braced trapezes were modeled by horizontal nonlinear springs in their
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Figure 10. Comparisons of 5% damped median capacity response spectra for 40 horizontal top ﬂoor
acceleration components and response spectra predicted by Eq. [9] and Eq. [11]; (a) return period
Tr = 100 years, (b) return period Tr = 475 years.

bracing directions between the piping and top slab-based nodes using the Pinching4
uniaxial material model available in OpenSees. The hysteretic properties of each
Pinching4 hysteretic spring were obtained by ﬁtting the global force–displacement relationship obtained from the quasi-static cyclic testing conducted by Wood et al. [2014] and
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described in Section 6.3. The horizontal and vertical masses of the water ﬁlled pipes were
lumped at each node based on tributary widths. Beyond the explicit hysteretic damping
provided by the sway bracing hysteretic springs, a small amount (2% of critical) of
Rayleigh type viscous damping was assigned based on the ﬁrst and third elastic modes
of vibration of each numerical model.

7.5. Analysis Results
The ﬁrst three elastic natural periods and mode shapes predicted by the numerical models
of the two-design alternatives of the mechanical piping model are shown in Figure 11. Due
to the high bending stiﬀness of the three 5-in black standard steel piping compared to that
of the sway braced trapezes, the mode shapes predicted by the numerical models are global
modes with most of the deformations in the sway braced trapezes and with the piping
behaving essentially as a rigid body. The elastic fundamental periods calculated for the
two-design alternatives (T1 = 0.41 s for the Eurocode 8 design and T1 = 0.27 s for the

Figure 11. Natural periods and mode shapes computed for mechanical piping systems designed
according to (a) Eurocode 8 design and (b) direct displacement-based design.
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Figure 12. Cumulative distribution functions (CDFs) for peak transverse and longitudinal displacements
in sway braced trapezes for Eurocode 8 design and direct displacement-based design (DDBD),
Tr = 100 years, (a) transverse direction and (b) longitudinal direction.

direct displacement-based design) are signiﬁcantly longer than 0.1 s, as obtained from
impact hammer tests [Hilti, 2014]. These results put in doubt the practice of using Ta/
Tn = 0 in the force-based Eurocode 8 design procedure (Eq. [2]).
Figures 12 and 13 show cumulative distribution functions (CDFs) for the peak transverse and longitudinal displacements in the sway braced trapezes for the two-design

28

A. FILIATRAULT ET AL.

Figure 13. Cumulative distribution functions (CDFs) for peak transverse and longitudinal displacements
in sway braced trapezes for Eurocode 8 design and direct displacement-based design (DDBD),
Tr = 475 years, (a) transverse direction and (b) longitudinal direction.

alternatives (Eurocode 8 and direct displacement-based) and for ground motion return
periods Tr = 100 and 475 years, respectively. The empirical CDF data shown in each graph
were ﬁtted with a lognormal CDF following the procedure proposed by Baker [2015]. The
target displacements associated with each of the two performance objectives considered
(Table 3) are indicated by vertical dashed lines in each plot along with their associated
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Table 6. Parameters for lognormal cumulative distribution functions of maximum displacements in
transverse and longitudinal directions for Eurocode 8 and direct displacement-based designs and for
ground motion return periods Tr = 100 and 475 years.
Tr = 100 years
Transverse direction
Median (mm)
β

Eurocode 8
40.3
0.50

Tr = 475 years

Longitudinal direction

DDBD*
6.8
0.28

Eurocode 8
39.7
0.49

DDBD*
6.9
0.27

Transverse direction
Eurocode 8
129.6
0.27

DDBD*
18.7
0.39

Longitudinal direction
Eurocode 8
122.3
0.35

DDBD*
18.5
0.38

*Direct displacement-based design.

Table 7. Lognormal probabilities of exceedance of target displacements, P[E/Δt,a], in transverse and
longitudinal directions for Eurocode 8 and direct displacement-based designs and for ground motion
return periods Tr = 100 and 475 years.
P[E/Δt,a]
Tr = 100 years
Transverse direction
Eurocode 8
98.4%

DDBD*
0.0%

Tr = 475 years

Longitudinal direction
Eurocode 8
94.3%

DDBD*
0.0%

Transverse direction
Eurocode 8
100.0%

DDBD*
40.0%

Longitudinal direction
Eurocode 8
100.0%

DDBD*
1.0%

*Direct displacement-based design.

lognormal percentiles, LNP/Δt,a. The lognormal probability of exceedance of each target
displacement, P[E/Δt,a], can then be simply obtained by
P E=Δt;a ¼ 1  LNP=Δt;a

(20)

Table 6 lists the median and lognormal standard deviation, β, values for all the computed
lognormal CDFs. The β values listed in the table capture only the ﬂoor motions variability
arising from the ground motions record-to-record variability. Table 7 summarizes the
lognormal probabilities of exceedance of the target displacements in the transverse and
longitudinal directions for both design alternatives and for both design ground motion
return periods.
The sway braced trapezes designed according to the Eurocode 8 force-based design
procedure fail to meet the target displacements in both directions and for both design
ground motions return periods. For the 475-year return period, the median peak displacements obtained with the Eurocode 8 force-based design procedure exceed the target
displacements by 109 mm (6.3 times) and 77 mm (2.7 times) in the transverse and longitudinal directions of the sway braced trapezes, respectively. The corresponding values for
the 100-year return period are 27 mm (2.9 times) and 22 mm (2.2 times) in the transverse
and longitudinal directions of the sway braced trapezes, respectively. The resulting lognormal probabilities of exceedance of the target displacements are essentially 100% for the 475year return period, as listed in Table 7. This poor performance of the Eurocode 8 design is
the direct result of the Ta/Tn = 0 assumption in Eq. [2]. Other assumptions could have
resulted in complete diﬀerent designs and performances. For example, if Ta/Tn = 1 is used in
Eq. [2], the spacing of the sway braced trapezes for the 475-year return period would be 11.1
and 15.4 m in the transverse and longitudinal direction, respectively. These spacing values
are very close to that obtained with the direct displacement-based design (see Table 5). This
illustrates the incoherence in using empirical forced-based seismic design procedures.
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The sway braced trapezes designed according to the proposed direct displacement-based
procedure, on the other hand, meet the target displacements in both directions and for both
design ground motions return periods. For the 475-year return period, the median peak
displacements obtained from the direct displacement-based design procedure underpredict
the target displacements by only 2 and 27 mm in the transverse and longitudinal directions of
the sway braced trapezes, respectively. The corresponding values for the 100-year return
period are 7 and 11 mm in the transverse and longitudinal directions of the sway braced
trapezes, respectively. The resulting lognormal probabilities of exceedance of the target
displacements are nearly 0% except for the 475-year return period in the transverse direction,
as listed in Table 7. For this governing design case (see Table 5), one would expect the median
displacement to be close to the target displacement. The results shown in Table 7 indicate that
the probability of exceedance of the target displacement for the 475-year return period in the
transverse direction of the sway braced trapezes is 40%, which is close to the 50% probability
of exceedance associated with the median displacement. These results illustrate the coherence
in using the much more rational direct displacement-based design procedure.

8. Conclusions
A framework for the application of direct displacement-based seismic design to nonstructural building elements has been developed in this paper. The proposed design procedure
applies mainly to acceleration-sensitive nonstructural elements suspended or anchored at
a single location (ﬂoor) in the supporting structure and for which damage is the result of
excessive displacements (e.g., piping systems, cable trays, suspended ceilings, etc.).
A numerical example of the direct displacement-based seismic design of a horizontal
mechanical piping system suspended from the top ﬂoor of a generic case-study and codedesigned ﬁve-story RC building located in a high seismicity site in Italy was presented and
compared with the force-based design procedure of Eurocode 8 using current practices.
Both design alternatives were evaluated through nonlinear time-history dynamic analyses
using ﬂoor motions generated from earthquake records representative of two hazard levels
that were associated with two diﬀerent design performance levels. The results showed that
the proposed direct displacement-based seismic design procedure satisﬁed well the performance objectives, while the Eurocode 8 design did not.
The proposed direct displacement-based seismic design strategy for nonstructural
elements requires detailed knowledge of the variation of the global equivalent nonstructural viscous damping with nonstructural displacement amplitude. Knowledge of the
cyclic behavior of the multitude of nonstructural typologies commonly used in buildings
is not well established at this time. To obtain this information, nonstructural system level
testing is required in parallel with the development of analytical/numerical models for
various nonstructural typologies. These important research activities are similar to those
conducted over the last century for structural systems.
Beyond the need to develop a robust experimental nonstructural hysteretic database,
much future work is required to generalize the proposed direct displacement-based
seismic design methodology for nonstructural elements. For example, the methodology
should be expanded to nonstructural elements with multiple attachment points in the
supporting structure. Also, correction factors to equivalent nonstructural viscous damping
values used in the direct displacement-based procedure need to be established to better
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represent the actual nonlinear seismic response of a variety of nonstructural element
typologies. Finally, some more work is required to develop a general simpliﬁed procedure
to construct design ﬂoor relative displacement response spectra.
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